
JOURNAL OF PROPULSION AND POWER

Vol. 20, No. 4, July–August 2004

Side-Load Phenomena in Highly Overexpanded Rocket Nozzles
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The operation of rocket engines in the overexpanded mode, that is, with the ambient pressure considerably
higher than the nozzle exit wall pressure, can result in dangerous lateral loads acting on the nozzle. These loads
occur as the boundary layer separates from the nozzle wall and the pressure distribution deviates from its usual
axisymmetric shape. Different aerodynamic or even coupled aerodynamic/structural mechanic reasons can cause
an asymmetric pressure distribution. A number of subscale tests have been performed, and three potential origins
of side loads were observed and investigated, namely, the pressure fluctuations in the separation and recirculation
zone due to the unsteadiness of the separation location, the transition of separation pattern between free-shock
separation and restricted-shock separation, and aeroelastic coupling, which indeed cannot cause but do amply
existing side loads to significant levels. All three mechanisms are described in detail, and methods are presented to
calculate their magnitude and pressure ratio at which they occur.

Nomenclature
B = normalized pressure shift coefficient
C = separation point shift coefficient
F = force
F ′ = differential force
f = frequency
J = mass of inertia
k = stiffness
L , l = length
M = Mach number or torque
m = mass
n = off-design ratio
n = wall normal vector
p = pressure
q = nondimensional variable
r = radius
S = surface
s = arc length
t = time
t1 = pulse-duration time
u, v = velocity
w = wall displacement
x = axial position
x = vector of location
y = horizontal position
z = vertical position
γ = specific heat ratio
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δ = boundary layer
δ∗ = displacement thickness
ε = area ratio
θ = tilt angle
ρ = density
σ = rms value
τ = period time or wall angle
τw = wall friction
ϕ = azimuth
ψ = pressure shift coefficient
ω, � = angular frequency

Subscripts

a = aerodynamic or ambient
e = exit
ff = full flowing
i = interaction
m = measured or mechanical
max = maximum
n = natural
p = plateau
r = recirculating
s = separation
t = throat
w = wall
y = horizontal
0 = undisturbed flow state or stagnation condition

Introduction

T HE performance of a rocket engine is strongly influenced by the
characteristics and function of its nozzle extension. The charac-

teristics of a conventional nozzle under vacuum conditions are well
understood, and under this condition, design tools are available.
However, during operation at highly overexpanded conditions, the
rocket nozzle will be exposed to dynamic loads due to uncontrolled
flow separation. These loads can sometimes be of such a magni-
tude that they present life-limiting constraints on thrust chamber
components, as well as on the thrust vectoring control system.

The increasing demand for higher performance in rocket launch-
ers promotes the development of nozzles with higher performance
and, hence, larger area ratio. In a high area ratio nozzle, the flow
will not be fully attached, but separated during testing at sea-level
condition and during the first phase of the actual flight. In a nozzle
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that is not full flowing, the separation line will move toward the
nozzle exit when the chamber to ambient pressure ratio increases.
Different kinds of dynamic loads occur in the nozzle when the flow
is separated. The most well-known of these dynamic loads, which
has received attention in the literature, is the so called side load.
To avoid damage from these loads, a deeper understanding of the
phenomena involved is needed.

A focused work dedicated to the investigation of the flow separa-
tion phenomena in rocket nozzles and corresponding side loads was
initiated in 1997.1 In the course of this work, numerous subscale tests
were performed in the modified hypersonic wind tunnel HYP500 at
the Aeronautical Research Institute of Sweden (FFA) (now a part of
the Swedish Defence Research Agency) in Stockholm.1−3 Heated
air was used as driving gas to avoid condensation. Dynamic and
static wall pressure measurements were performed together with
schlieren video recording to characterize the flowfield. The subscale
models consist mainly of two parts: one fixed part mounted to the
downstream flange of the wind tunnel and one hinged part (Fig. 1).
The hinged part is fastened by a cardan, permitting the nozzle to
move in two directions (Fig. 2). The side-load torque is measured
around the nozzle throat in the cardan by strain gauges located on
the torsion springs, and this motion simulates the throat-bending
mode of a real rocket nozzle. Each of the different nozzle concepts
tested was equipped with a stiffener ring at the nozzle exit to re-
ceive approximately the same eigenfrequency in all of the nozzle
concepts. An overview of the nozzles analyzed is shown in Fig. 3.

In the test campaigns, three main types of side loads have been
observed due to 1) random pressure fluctuation, 2) transition of
separation pattern, and 3) aeroelastic coupling. All three types are
described and exemplified by test results together with analysis in

Fig. 1 Schematic side view of the cardan hinged test nozzle in FFA
tunnel HYP 500.

Fig. 2 Test nozzle with cardan suspension.

a) Volvo S1 parabolic
contour, ε= 20

b) Volvo S3 parabolic
contour, ε= 18.2

c) Volvo S6 Trun-
cated ideal contour,
ε= 20.7

d) Volvo S7 short
high-pressure gradi-
ent, ε= 20.3

Fig. 3 Subscale nozzles tested by Volvo Aero Corporation (VAC) at
FFA’s HYP500 facility.

this paper. A fourth type of side loads, which is due to the influence
of the external flow, is not addressed here.

Side Loads Created by Random Pressure Fluctuations
Flow separation in supersonic flows is, of course, not limited to

the field of rocket nozzles. When a supersonic flow meets a forward-
facing step, a ramp, or an incident shock, the pressure rise in the
boundary layer can be strong enough to cause flow separation. From
basic experiments with exactly these configurations, it is known that
the boundary-layer separation in turbulent supersonic flows is not
a stationary process, even if the main flow is stationary.4,5 Instead,
the separation line and the shock resulting from the deflection of
the flow show a highly instationary behavior, which seems to be
triggered by the major scales of turbulence and also influences the
recirculation region downstream.6

In rocket nozzles, basically the same phenomena can be observed.
However, the separation location is not fixed by geometrical proper-
ties of the test configuration as in the earlier cases, but results mainly
from the ratio of wall pressure to ambient pressure.

It is useful to describe the off-design condition as

n = pe,ff/pa (1)

where pe,ff is the theoretic nozzle exit wall pressure for a full-flowing
nozzle and pa is the ambient pressure.

As an example, static wall pressure measurements from a trun-
cated ideal nozzle (Volvo S6 in Fig. 3) are shown in Fig. 4. As
expected, the separation point moves out of the nozzle when the
off-design ratio n is increased towards unity, that is, the degree of
overexpansion is reduced.

Based on the static wall pressure development, the flow can be
divided in three regions. As shown in Fig. 5, upstream of the point
of minimum static wall pressure (usually indexed i), the boundary
layer is attached, and its behavior corresponds to a full-flowing
nozzle. The following region of steep pressure rise, which ends at a
certain plateau (often indexed p), is usually referred to as separation
or interaction zone. In this region, the whole separation process
take place, that is, thickening of boundary layer and physical flow
separation (indexed s) at the zero wall friction point, τw = 0. The
last portion of the nozzle, where the flow is fully separated, shows a
weak pressure rise until a wall pressure slightly below the ambient
pressure is reached at the nozzle exit plane. This last portion is
referred to as the recirculation zone.

When the dynamic behavior of the wall pressure is examined
rather than the static behavior, interesting features of the flow can
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Fig. 4 Static wall pressure measurements in the S6 nozzle for different
operational conditions, n = 0.04–0.24.

Fig. 5 Schematic of FSS.

Fig. 6 Pressure signals at different positions through the separation
zone in the Volvo S7 short nozzle; measurements made during down
ramping of p0.

Fig. 7 Statistical evaluation of pressure signal at two different axial
locations in the Volvo S7 short nozzle during down ramping of p0: top,
standard deviation values and bottom, skewness and kurtosis.

be observed. Figure 6 shows pressure signals in different parts of
the separation zone, and Figure 7 shows the corresponding statis-
tical moments. In Fig. 7, the axial positions correspond to M = 3.8
and M = 4.1 in the full-flowing nozzle. Each symbol is based on
800 samples collected during 0.2 s. The data were obtained at tran-
sient operation of the Volvo S7 short nozzle (Fig. 3). During down-
ramping of the chamber pressure, the separation zone moves over the
transducers during the time tp–ti , where the subscripts i and p refer
to the start of the separation zone and the plateau point, respectively.
Because the ramping is slow compared to the typical timescale of
the pressure fluctuations, the variation of σp over time can be in-
terpreted as the streamwise evolution by defining a nondimensional
coordinate q = (t − ti )/(ti − tp). Figure 7 shows this behavior for
two pressure transducers located at different axial positions. As can
be seen, the two curves in Fig. 7 (representing the normalized stan-
dard deviation of the measured pressure signals) coincide, which
proves that this generalization is valid. Outside the separation zone
(signals a and e, Fig. 7), the pressure fluctuations follow a Gaussean
distribution, with skewness near zero and the kurtosis equal to three.
In contrast, the separation zone is characterized by high intermit-
tency: at the beginning with a positive skewness (Fig. 7, signal c)
and toward the end with a negative skewness (Fig. 7, signal d). In
fact, the onset of high values of skewness and kurtosis (flatness)
constitutes an accurate criterion for detecting the beginning and end
of the separation zone.

The explanation of the obtained feature, first given by Kistler,4

is that the flow is intermittent. In the separation zone, the pressure
jumps back and forth between the mean pressure levels pi and pp

due to a fluctuation of the separation point, and at each pressure
level, the pressure oscillates with an amplitude characteristic of that
level, that is, σp,i and σp,p , respectively.

According to Kistler,4 the wall pressure signal near the separation
can be modeled as a step function, with the jump location, that is, the
shock wave, moving over some restricted range. When ε is defined
as the fraction of time that the plateau pressure region is acting
over the point of interest, that is, an intermittence factor, the mean
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Fig. 8 Side loads created in a nozzle with random pressure pulsation.

pressure at a given axial position x can be expressed as

p(x) = ε(x)pp + [1 − ε(x)]pi (2)

and the mean-square fluctuation around the mean pressure becomes

σ 2
p(x) =

Shock motion
︷ ︸︸ ︷

ε[1 − ε](pp − pi )
2

︸ ︷︷ ︸

Low freq. part

+
Shear layer
︷︸︸︷

εσ 2
p,p +

Boundary layer
︷ ︸︸ ︷

[1 − ε]σ 2
p,i

︸ ︷︷ ︸

High freq. part

(3)

Erengil and Dolling7 showed, on the basis of ramp flow data, that
the error function gives a good fit to the distribution of ε over the
interaction region. This means that the position of the separation
shock has a Gaussian distribution within this region.

The comparison in Fig. 7 with pressure rms values calculated with
a refined Kistler approach (see Ref. 8) shows that the intermittence
model gives correct results and can be applied to separated nozzle
flows.

The pressure fluctuations have a random character, but show a
clear correlation both in space and time. Therefore, they cause de-
viations from the axisymmetric flow and, hence, can produce forces
perpendicular to the nozzle axis. Figure 8 shows those forces as
a function of test time and operational condition for the Volvo S6
nozzle. Dumnov9 presented a methodology to calculate the size of
such forces based on the measurement of correlations both in time
and space. This method is well suited to predict side loads in conical
or truncated ideal nozzles.

Note that the earlier described side load, which results from ran-
dom pressure fluctuations, is an aerodynamic force that acts on the
dynamic system of the nozzle or the engine. To calculate the system
response, that is, strains, deformations, and movements, it is nec-
essary to solve a forced-response problem. The same holds true if
the aerodynamic side load should be extracted from measurements:
Because only the system response can be measured, a recalculation
of the aerodynamic force is necessary, which requires the precise
knowledge of the system’s dynamic behavior. One possibility to do
this is to determine the system’s transfer function.10 This procedure
was also used to calculate the aerodynamic side loads from test data
recorded at the HYP500 rig.

Side Loads Created by Transition of Separation Pattern
The classic, well-documented case of flow separation in nozzles

is the free shock separation (FSS), where the flow continues as free-
jet downstream of the separation point and does not reattach to the
nozzle wall (Fig. 5). In nozzles with an internal shock that induces

a cap shock pattern,3 for example, compressed truncated ideal con-
tours, parabolic contours, and directly optimized nozzles, a second
separation pattern can occur. It is characterized by a reattachment
of the separated flow to the nozzle wall and commonly referred to
as restricted shock separation (RSS).1,3,11,12 Two well-known full-
scale nozzles where RSS occurs are the Vulcain and the space shuttle
main engine (SSME) nozzle.

In the subscale testing, this behavior is detected in the parabolic
nozzles Volvo S1 (Fig. 9) and Volvo S3. Numerical simulation was
done using an in-house code that used the Menter13 shear stress
transport (SST) turbulence model. Figure 10 shows the side forces
for the S1 nozzle, which are dominated by the changes in separation
pattern.

a) FSS at n = 0.13

b) RSS at n = 0.15

Fig. 9 Volvo S1 nozzle at start-up.

Fig. 10 Side loads created in the parabolic S1 nozzle due to transition
in separation pattern.
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Fig. 11 SRS for different pulse shapes.

During startup, a transition from FSS to RSS occurs at an off-
design ratio of n = 0.14 (Fig. 10). This rapid unsymmetrical tran-
sition creates a side-load impulse acting on the nozzle structure.
Because of the short duration of the aerodynamic side load, the
pulse excitation theory10 can be used when evaluating the mechan-
ical load. With this theory, the dynamic response factor, that is, the
amplification of the applied load due to the dynamic system, is less
than two for any single pulse. The most critical pulse is the single
square wave because it contains the highest energy that any single
pulse of defined strength and length can have. Figure 11 shows the
shock response spectrum (SRS) for a single square wave together
with the SRS for the half-sine wave and triangular pulse. The half-
sine and the triangular pulse are often good approximations to real
pulse shapes, for example, the load created by the aforementioned
transition from FSS to RSS. If the transition time t1 and the natu-
ral period of the mechanical eigenmode τ are known, the dynamic
response factor can be obtained from Fig. 11.

The second side-load peak at n = 0.25 is created as the reattach-
ment point reaches the nozzle exit and the closed separation bubble
opens to ambient. The ambient pressure, which is higher than the
pressure in the closed separation bubble, pushes the separation point
upstream, which can result in a renewed reattachment of the flow
to the wall and a downstream movement of the separation point.
This process can recur periodically until the nozzle pressure ratio
has been increased sufficiently and, thus, causes a continuously pul-
sating force on the nozzle. In contrast to the FSS–RSS transition
side load described earlier, which was treated by the pulse excita-
tion theory, the second peak should be treated as a forced response
phenomenon. If the mechanical eigenfrequency of the system is
close to the aerodynamic side-load frequency, it can lead to a severe
side-load amplification and, thus, fatigue of mechanical compo-
nents. The failure of an SSME fuel feed line was explained by this
phenomenon.14

Different models have been proposed for the prediction of the
aerodynamic load due to the transition between separation patterns
(Hagemann et al.11). The basic idea in all proposed models is the
same: It is assumed that the transition does not occur in a symmetric
way. A worst-case assumption is that during this transition, one-
half of the nozzle experiences free-shock separation while there is
restricted-shock separation at the opposite half. Of course, the wall
pressure distribution for the two different separation patterns is not
the same; hence, a lateral force is produced. The side sload is then
calculated from the momentum balance over the entire nozzle sur-
face area. The key point for predicting the side-load level correctly
is first to predict the operational condition where the transition from
FSS to RSS takes place and second to calculate the corresponding
FSS and RSS flow conditions. This can be done with computational
fluid dynamics (CFD) or semi-empirical models or a combination
of both (Hagemann et al.11).

Aeroelastic Stability
In highly aeroelastic cases, a significant amplification of the side

load can occur as the flow interacts with the mechanical structure.
The study of aeroelastic effects in separated nozzle flows is rather
complex, requiring dynamic models of the mechanical nozzle–

engine support system and the flow separation, as well as the cou-
pling between these two. A technique for handling these difficult
coupling problems was proposed by Pekkari15,16 in the early 1990s.
The model consists of two main parts, the first dealing with the
equation of motion of the thrust chamber as aerodynamic loads are
applied and a second part modeling the change of the aerodynamic
loads due to the elastic deformation of the wall contour. In the orig-
inal work by Pekkari, the pressure shift due to the deformation of
the wall is determined by using the linearized supersonic flow the-
ory. However, experience has shown that this theory significantly
overpredicts the pressure shift when it is applied to internal nozzle
flow, and therefore, a modified approach is proposed here, where
the pressure shift is extracted from three-dimensional Euler simu-
lations. This modified model predicts the aeroelastic stability and
the modification of eigenfrequencies due to aeroelastic effects, as
well as the transient behavior during startup and shutdown of the
nozzle. Different mechanical eigenmodes can be treated, however,
from side load point of view, the aeroelastic behavior of the bending
mode is the most relevant one.

In the following section, the applied aeroelastic theory will be
described, and results will be compared to the Volvo S1 and S6
cold-gas subscale tests (Fig. 3). Thanks to the simple test setup, the
mechanical system can be described analytically (in contrast to real
rocket engine cases, which require a complex finite element model
analysis) and the basic model assumptions can, thus, be verified
separately.

Geometry
The coordinate system implemented and the definition of the

nozzle motion is shown in (Fig. 12).
The model nozzle is mounted on a flexible joint or cardan with

stiffness k located at the throat. Here, θ is the tilt angle between
the nozzle centerline and the combustion chamber centerline. L is
the nozzle length from the throat to the exit, m the mass, and Jy the
mass of inertia around the y axis. Also, τ is the local contour angle
with respect to the nozzle centerline, and r(x) is the local radius
of the nozzle at the axial location x . Furthermore, w describes the
displacement of the nozzle wall. The circumferential location is
denoted by the angle ϕ, and p, M, u, ρ are the freestream flow
properties along the wall.

Equation of Motion
Following the analysis of Pekkari,15,16 the system is considered

as quasi static with respect to the flow, that is, the characteristic

Fig. 12 Nozzle and flow separation geometry.
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timescales of the flow are considered to be an order of magnitude
faster than the characteristic timescales of the mechanical system.

In the y direction, the equation of motion for the bending of the
nozzle by an angle θ , without considering damping, is

Jy θ̈ = Mm(θ) + Ma(θ) (4)

Mm is the mechanical torque, that is, the restoring torque of the
spring in the nozzle suspension,

Mm = −kθ (5)

and Ma is the y component of the aerodynamic torque induced by
the pressure load onto the nozzle wall, neglecting any wall friction,

Ma(θ) =
∫∫

©© x × {p[w(θ), x] − pa} · n dS (6)

Here, n is the wall surface normal vector as indicated in Fig. 12, and
x is the corresponding vector of location,

n = {− sin τ, cos τ cos ϕ, cos τ sin ϕ} (7)

x = {x, r(x) cos ϕ, r(x) sin ϕ} (8)

Eigenfrequency
The equation of motion for the mechanical system alone, that

is, the nozzle without flow, is derived by putting the considered
harmonic amplitude motion solution

θ ∼ eiωt (9)

into Eq. (4) and leaving out the aerodynamic torque Ma ,

Jy θ̈ = Mm(θ), −Jyω
2θ = −kθ (10)

From Eq. (10), the eigenfrequency is found as

ω2 = k/Jy (11)

This frequency can be found with hammer tests. Now, a nozzle
with flow and, thus, with aerodynamic load Ma is considered, again
assuming the motion to be purely harmonic,

θ ∼ ei�t (12)

Introducing Eq. (12) in (4) and dividing by Eq. (11) gives

− Jy�
2θ = −kθ + Ma, (�/ω)2 = 1 − [Ma(θ)/kθ ] (13)

The analysis of Eq. (13) shows that, when Ma/kθ < 0, the
aeroelastic torque acts to restore the nozzle to its nominal position,
that is, the system becomes stiffer than the mechanical structure
itself and the frequency of the eigenmode is shifted to a higher
frequency, that is, (�/ω)2 > 1.

The analysis of Eq. (13) also shows that, when Ma/kθ ∈ [0, 1],
the aeroelastic torque acts in the same direction as the displacement
of the nozzle wall, that is, the system becomes weaker than the
mechanical structure itself and the frequency of the eigenmode is
shifted to a lower frequency, that is, (�/ω)2 ∈ [0, 1].

Finally, analysis of Eq. (13) shows that, when Ma/kθ > 1, the
unconditionally stable eigenmode becomes aeroelastically unstable,
that is, (�/ω)2 < 0, and the displacement of the nozzle will start to
grow exponentially.

Aerodynamic Load
To calculate the aerodynamic load and the associated frequency

shift, the wall pressure distribution of the deformed nozzle must
be known. As in the original model by Pekkari,15,16 the pressure
upstream of the separation point xi is assumed to be the pressure
of the attached boundary layer, but taking into account the asym-
metric deformation. Downstream of the separation point, a pressure
recovery occurs, and the pressure gradually approaches the ambient
pressure. However, the model presented here assumes this pressure
to be equal to the ambient pressure pa for simplicity and clarity,

p(w, x) =
{

p(x) + p0�(w, x), x ≤ xi

pa, x > xi
(14)

Here p(x) is the axisymmetric wall pressure in the undeformed
nozzle. The second term in the pressure upstream of the separation
line is the disturbance of the wall pressure due to the deformation
of the nozzle contour, that is,

�(w, x) = [p(w, x) − p(x)]/p0 (15)

where p0 is the stagnation pressure.
The location of the separation point is considered to be given by

a separation criterion of Summerfield type:

pi/pa = const (16)

In the original work by Pekkari, the pressure shift, ψ , was calculated
with the use of the small perturbation theory (SPT), that is,

�(w, x) = ρu2

p0

√
M2 − 1

∂w

∂s
= B

∂w

∂s
(17)

Here w = w · n is the normal displacement of the nozzle wall surface
and s is the arc length along the wall in the axial direction; thus,
for small deflections, ∂w/∂s is the angle of deformation. B is the
normalized pressure shift coefficient, which expresses the change
in pressure with the wall deformation. However, experience has
shown that SPT overpredicts the pressure shift in deformed nozzles.
Therefore, a modified approach is proposed,3 where the normalized
pressure shift coefficient B is extracted from three-dimensional Eu-
ler simulations:

B(x) = �(w, x)

∂w/∂s
= p(w, x) − p(x)

p0∂w/∂s
(18)

A test was performed where the S1 nozzle was statically deformed
by 1 deg to verify the simulation results. In Fig. 13, the measured
and the calculated wall pressure profile are shown for the unde-
formed and deformed S1 nozzle, respectively. As can be seen in

Fig. 13 Measured and calculated wall pressure in the S1 nozzle stati-
cally deflected by 1 deg.
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Fig. 14 Comparison between calculated and measured normalized
pressure shift coefficient B in the S1 nozzle.

Fig. 15 Normalized pressure shift coefficient in conical nozzle.

Fig. 13, there is good agreement between the CFD prediction and
the measured wall pressure, whereas SPT overpredicts the pressure
shift considerably.

This effect can be seen even more clearly in Fig. 14, which shows
the corresponding normalized pressure shift coefficient B. The SPT
method overpredicts the pressure shift coefficient by approximately
a factor of four for this case. The CFD predictions, on the other
hand, show close agreement with the experimental data and, thus,
validate the use of Euler simulations for calculating the pressure
shift coefficient.

Note that the deviation of the wall pressure due to bending around
the throat is highly dependent on the nozzle contour itself. As
shown in Refs. 12 and 17, the secondary flow effects due to the
uneven flow distribution around the circumference in a conical noz-
zle are so strong that the pressure deviation trend even reverses
itself: On the side with higher flow angles, where more expansion
is expected, the wall pressure in some portions of the nozzle is
even higher than on the opposite side. This finding has been con-
firmed by our own numerical simulations and underscores the ne-
cessity of case-sensitive methods. See Fig. 15 and note the negative
value of B.

A simple relation can be found by linearizing the aerodynamic
torque around the initial location of the separation line in the unde-
formed nozzle, xi0. Expanding the wall pressure for attached flow
around xi0 gives

p(xi ) = p(xi0) + dp

dx
(xi − xi0) + · · · (19)

Equation (14) written at the axial station xi is

p(w, x) = p(x) + p0 B
∂w

∂s

∣

∣

∣

∣

x = xi

(20)

The separation pressure p(w, x) at x = xi , approximated for the
deformed wall contour by Eq. (20), will be the same as the sepa-

ration pressure p(xi0) for the undeformed wall contour included in
Eq. (19). The separation line is, therefore, defined by

p(xi0) = p(w, x)|x = xi (21)

which gives

p(xi ) − dp

dx
(xi − xi0) = p(xi ) + p0 B

∂w

∂s

∣

∣

∣

∣

x = xi

xi − xi0 =
[

B

/

− d

dx

p(x)

p0

]

∂w

∂s

∣

∣

∣

∣

x = xi

= C
∂w

∂s

∣

∣

∣

∣

x = xi

(22)

where

C = B

/

− d

dx

p(x)

p0

which expresses the change of the separation point with the nozzle
wall deformation.

The differential aerodynamic pressure force per circumferential
fraction due to a small wall displacement may be written as

dF′
a(w) = n(pi − pa)(xi − xi0)r dϕ = n(pi − pa)C

∂w

∂s
r dϕ (23)

When the differential force is integrated along the separation line
around the circumference, the aerodynamic pressure force is

Fa(w) =
∮

lsep

F′
a dl = (pi − pa)

∮

lsep

nC
∂w

∂s
dl

∣

∣

∣

∣

x = xi0

(24)

The corresponding aerodynamic torque is

Ma(w) = (pi − pa)

∮

lsep

x × nC
∂w

∂s
dl

∣

∣

∣

∣

x = xi0

(25)

The change of the nozzle wall slope at different circumferential
locations ϕ due to a small tilt angle θ of the nozzle can be expressed
as

∂w

∂s
≈ θ sin ϕ (26)

When this and

∮

lsep

. . . dl ≈
∫ 2π

0

. . . r(xi0) dϕ (27)

are used for small wall deformations, the aerodynamic torque can
be expressed as

Ma(θ) ≈ {0, Ma, 0}
Ma(θ) = (pa − pi ) Crπ(x cos τ + r sin τ)θ |x = xi0 (28)

When Eq. (28) is substituted in Eq. (13), the frequency shift, lin-
earized around the initial location of the separation line, is obtained
as

(�/ω)2 = 1 − [(pa − pi )Crπ(x cos τ + r sin τ)/k]|x = xi0 (29)
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Typical Model Results
The general features of the aeroelastic model are best visualized

by applying it to the Volvo S1 test case. The resulting natural oscil-
lating frequencies of the bending mode are listed in Table 1 for the
different spring setups used. The frequencies were determined by
performing a ping test on the test article in the test facility. A more
detailed description of the test program is presented in Ref. 1.

With the use of Eq. (29), the aeroelastic stability of the S1 nozzle
can be calculated for the different spring setups. Such a calculation
is presented in Fig. 16, with pi/pa = 0.25 and B from an Euler
calculation according to Fig. 4. It can be seen that the only aeroelas-
tically unstable system is the S1 nozzle with the superweak spring
for xi/L > 0.8.

The aeroelastically stable system will almost behave like a regular
forced response system, that is, the closer the mechanical eigenfre-
quencies are to the frequencies of the aerodynamic load, the higher
the generated loads. The exception is that a small shift of the sys-
tem eigenfrequency and a corresponding small amplification of the
forced response load will occur. The frequency shift and the size
of the aeroelastic side-load amplification depend on the degree of
coupling. For the weak, medium, stiff, and rigid spring setups con-
sidered here, the coupling is weak and the aeroelastic effect can
almost be neglected.

For the aeroelastically unstable system, on the other hand, a sig-
nificantly higher side-load magnitude can be expected compared to
the classic forced response theory due to the aeroelastic instability.
When the separation enters the section of the nozzle that is unstable,
the displacement of the nozzle will start to grow exponentially. At
the same time, the separation line will be displaced accordingly. The
nonlinear growth of the nozzle displacement will saturate as parts
of the separation line start to move out of the nozzle, that is, parts of
the nozzle becomes full flowing, when the displacement becomes
sufficiently high. This can be seen in the nonlinear stability relation
(13), shown in Fig. 17 for tilt angles θ = 0.1 and θ = 2.6 deg. For
comparison, the linearized stability relation (29) is also included in
Fig. 17.

If we study the nonlinear stability relation for the S1 nozzle more
carefully (Fig. 17), we can see that the aeroelastic instability occurs
at n = 0.25. When n is increased further, the nozzle will become full
flowing at n ≈ 0.27, and the system becomes stiffer than the mechan-
ical structure itself, that is, (�/ω)2 > 1, because the aerodynamic
torque now acts to stabilize the nozzle.

Table 1 Resulting natural oscillating frequencies
of the bending mode for the different spring setups

with the Volvo S1 nozzle

Spring Natural frequency, H2

Superweak 25.2
Weak 36.3
Medium 45.0
Stiff 57.5
Rigid 120

Fig. 16 Aeroelastic stability of the S1 nozzle for the different spring
setups.

Table 2 Measured side-load magnitude vs frequency
ratio between exciting load and mechanical system,

peak at n = 0.24

Spring ωa/ωn M/Mmax

Rigid 0.8 0.66
Stiff 1.7 0.63
Medium 2.2 0.48
Weak 2.8 0.45
Superweak 3.9 1

Fig. 17 Aeroelastic stability relation for the S1 nozzle hinged with the
superweak spring.

Comparison with Experimental Data
In the following text, the presented model for the prediction of

aeroelastic effects will be validated with respect to amplitude and
frequency by comparing the model results to experimental data for
the Volvo S1 nozzle and the Volvo S6 nozzle, respectively.

Volvo S1 Nozzle
Table 2 shows the measured side load at n = 0.24, obtained with

the different spring setups. Schlieren videos show that the side load
at this pressure ratio is connected to an oscillation of the whole
separation shock system with a frequency of about fa = 100 Hz
(ωa = 2π fa) near the nozzle exit.3 When the aeroelastically stable
systems (rigid to weak spring) are examined, the measured load de-
creases with decreasing spring stiffness, which can be explained by
the classic forced response theory: The highest response is reached
with the system’s eigenfrequency fn (ωn = 2π fn) closest to the ex-
citing frequency. However, the trend of decreasing response with
increasing distance from the exciting frequency is clearly inter-
rupted for the superweak spring. This behavior can be explained
by aeroelastic amplification, and indeed, aeroelastic instability was
predicted for the S1 nozzle with the superweak string in the preced-
ing paragraph.

Volvo S6 Nozzle
In Fig. 18 the predicted frequency shift in the S6 nozzle is com-

pared to experimental data. The experimental frequency shift of the
eigenmode has been determined by applying the Welch method18

for power spectral analysis on the measured steady-state side load
at different constant pressure ratios. The sampling time was at least
8 s for each case to achieve sufficient frequency resolution. The fre-
quency shift [Eq. (13)] for the S6 nozzle has been calculated with a
tilt angle θ = 0.1 deg, pi/pa = 0.2, and B extracted from an Euler
calculation.

As indicated in Fig. 18, the theory predicts almost the same fre-
quency shift as observed in experiments. The discrepancy is mainly
due to the fact that both structural and gasdynamic damping was
neglected in this analysis. Inclusion of damping in the analysis
would increase the frequency shift, and the prediction should move
closer to experimental data. However, the influence of the damping is
only significant during steady-state operation, whereas during short
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Fig. 18 Comparison between measured and calculated frequency shift
for S6 nozzle.

transient phases, such as a rocket engine startup, the damping plays
a minor role. Because damping plays a minor role, the simplification
in the analysis becomes more valid.

Because of the simple separation model used, the sudden increase
of the frequency is predicted somewhat later compared to experi-
mental data. The gradient of the predicted frequency shift is also
steeper compared with the experimental data. However, this is only
a reflection of the single and very small tilt angle (θ = 0.1 deg)
used for calculating the frequency shift. In Fig. 17, it can be seen
that the predicted gradient will be reduced for larger tilt angles.
The increased system frequency observed in the experiments, when
the nozzle becomes full flowing, is also well captured with the
model.

In Fig. 18, the linearized frequency shift [Eq. (29)] calculated with
the Östlund3 and Pekkari15 approaches are also shown to visualize
how the frequency shift is overpredicted when determining B with
SPT [cf. Eqs. (17 and 18)].

Pekkari15,16 concluded in his work that the aeroelastic model re-
sults were qualitatively as well as quantitatively consistent with Vul-
cain side-load test results. As shown earlier, the aeroelastic coupling
in the bending mode is not as strong as Pekkari anticipated. Today,
we know that the high Vulcain side loads are caused by a transition
between different separation patterns and not due to an aeroelas-
tic phenomenon. Nevertheless, the experimental data as well as the
modified model presented in this work show that aeroelastic effects
can amplify the original side load and that the aeroelastic amplifica-
tion is significant in weak nozzle structures. It has also been shown
that the aeroelastic amplification is highly dependent on the nozzle
contour.

The current work has only focused on aeroelastic effects coupled
to the side-load phenomenon and not on possible aeroelastic insta-
bility of nozzle shell buckling modes. In recent tests of a flexible
thin-walled ideal nozzle, Brown et al. found indications of a self-
excited vibration loop coupling the ovalization mode to the flow
separation.19 So far, the mechanism for the observed response has
not been clarified, and Brown et al. suggest that the lines laid down
by Pekkari15,16 should be followed.

Conclusions
Side-load phenomena in highly overexpanded rocket nozzles have

been investigated with the help of extensive subscale testing at FFA.
The starting point for side-load analysis is a deep understanding of
the flow separation behavior in a rocket nozzle. Three different kinds
of side loads have been analyzed.

The first kind of side loads analyzed are those created by random
pressure fluctuations. When the pressure rise in the boundary layer
is strong enough, the flow separates from the nozzle wall. This kind
of flow separation can be seen in several basic flow experiments,
for example, where a supersonic flow meets a forward-facing step.
It can be seen that the boundary-layer separation in turbulent su-
personic flows is not a stationary process, even if the main flow
is stationary. Both the static and dynamic wall pressure behaviors

have been studied. It has been shown in this paper that the behav-
ior of the dynamic wall pressure constitutes a suitable criterion for
detecting the beginning and end of the separation zone by analyz-
ing the skewness and the kurtosis of its distribution. Furthermore,
an error function approach was used for the prediction of pressure
fluctuations in the separation zone.

The second kind of side loads analyzed are those created by
transition of separation pattern. In nozzles with an internal shock
that induces a cap shock pattern,3 for example, compressed trun-
cated ideal contours, parabolic contours, and directly optimized
nozzles, a second separation pattern can occur. It is character-
ized by a reattachment of the separated flow to the nozzle wall
and commonly referred to as RSS.1−3,11,12 In the subscale test pro-
gram performed, RSS was observed in the parabolic nozzles S1
and S3.

It is the rapid unsymmetrical transition that creates a side-load
impulse acting on the nozzle structure. Because of the short duration
of the aerodynamic side load, the pulse excitation theory10 has been
used when evaluating the mechanical load.

The third kind of side loads analyzed are those created by aeroe-
lastic coupling. The model proposed by Pekkari15,16 in the early
1990s has been analyzed and modified. Three-dimensional Euler
simulations have been used, instead of small perturbation theory,
when calculating the normalized pressure shift in a deflected noz-
zle. These new simulations have been compared with subscale test
results of the deflected S1 and S6 nozzle and found to have good
agreement. It has also been shown that the aeroelastic coupling can
be significant in weak nozzle structures.
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